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Abstract

This paper presents the modelling of a morphing fairing designed to cover the joint on hinged
commercial airliner wingtips, such as the semi-aeroelastic Hinge concept. The fairing is made
from geometrically anisotropic thermoplastic rubber morphing skin panels, which are
3D-printed multi-material thermoplastic polyurethane sandwich panels combining flexible
facesheets with zero Poisson’s ratio cellular cores to provide large extension capability
alongside high out-of-plane stiffness. The morphing fairing is designed to cover the gaps in the
hinge with a smooth and continuous surface while minimising added torsional stiffness and
distortion of the aerofoil cross-section during wingtip rotation. In order to model the mechanical
response of this structure at a reasonable computational cost, a homogenisation approach is
proposed, wherein the elastic properties of the panel are homogenised to an equivalent shell
stiffness matrix through detailed finite element studies on unit cells. These equivalent shell
properties are then applied to the three-dimensional geometry of the wing to predict the global
response of the fairing during wingtip rotation. This model is then used to parametrically study
the effects of varying panel and fairing design parameters on the two design objectives of
minimising torsional stiffness and cross-section distortion. The study indicates that
cross-section distortion is best minimised by increasing the skin panel’s core thickness, with the
other panel design variables having significantly less impact. In contrast, all design variables
significantly affect torsional stiffness, with decreasing facesheet thickness and increasing core
chevron wall length and chevron angle being particularly effective at reducing torque. The
impact of pre-straining the skin panels is also studied, as is the use of additional internal ribs
within the fairing, where both approaches reduce distortion at the cost of modestly higher
torque. Together, these results clearly indicate the underlying design trends, useful ranges of
design variables, and the strong competition between design objectives.
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1. Introduction

Commercial aircraft spend most of their flight time in the
cruise phase, where induced drag is still a major component of
total drag. High aspect ratio wing configurations are pursued
to reduce the induced drag and thereby reduce fuel consump-
tion. Designing wings with longer spans is a simple way to
achieve a higher aspect ratio; however, airport gates limit the
wingspan in commercial aircraft according to the categories
shown in table 1.

A foldable wingtip circumvents this restriction by folding
it after landing to fit within the airport gate size and unfold-
ing it before taking off to extend the wingspan. This approach
is used by the Boeing 777X, which has a 71.75 m wingspan
in flight with extended wingtips and a 64.85 m wingspan at
the gate with folded wingtips [3]. Hence, the folded wingtip
enables gate compatibility to ICAO Code E and FAA Group V,
although the wingspan in flight is longer than the compatible
limit [1, 2]. Moreover, airports charge higher fees for larger
gates and tend to have restricted numbers of them, so folding
wingtips can save the airlines significant recurring costs.

Despite the aerodynamic benefits, wingspan extension
increases bending moments at the wing root due to the exten-
ded moment arm. The extended moment arm is particularly
problematic for the peak gust loads that are a key driver
in structural sizing and, therefore, wing weight. The folding
wingtip can be designed to provide gust load alleviation if it
is allowed to rotate freely during flight with its axis of rotation
oriented at an angle outward from the direction of flight [4,
5]. The flight tests show that this free folding response of the
flared wingtip is statically and dynamically stable throughout
the flight [6]. The ‘flaring’ of the hinge by a flare angle (A)
relative to the aircraft’s longitudinal axis, shown schematic-
ally in figure 1, is a key component of the semi-aeroelastic
hinge (SAH) concept currently under development by Airbus,
the University of Bristol, and others [7].

The flare angle introduces a geometric coupling between
the folding angle (6) and the local angle of airflow incidence
on the wingtip. For positive flare angles, as the wingtip folds
up, the angle of incidence on the wingtip is reduced in a way
which tends to reduce lift during a gust. Aeroelastic studies
have shown that this gust rejection capability, combined with
reductions in root bending moment stemming from the lack
of moments carried across the hinge, can allow for a signific-
ant 25% increase in the wingspan with only a minimal 4.4%
increase in peak loads [9]. Hence, it enables wingspan exten-
sion while retaining gate width compatibility and with min-
imal additional structural reinforcement.

The SAH joint requires a fairing to enclose the gap between
the inner and outer wing and provide as smooth an aerody-
namic surface as possible. Moreover, the SAH concept may
include further mechanical components (e.g. actuators) within
the joint itself that may require increased internal volume and
thickness, thereby protruding the fairing into the flow. One
solution to designing this fairing would be to take a purely
mechanical approach, with discrete sliding interfaces carefully
designed to minimise gaps in the surface but with an associated

Table 1. Wingspan restrictions for airport gate compatibility [1, 2].

ICAO Code FAA Group Wingspan
A I <15m

B II 15—24 m
C 1 24—36m
D v 36—52m
E \Y% 52—65 m
F VI 65—80 m

increase in mechanical complexity and maintenance require-
ments. However, the complex three-dimensional geometry of
the fairing and the misalignment of the sliding interfaces to
the flow due to the flare angle make it difficult to avoid surface
discontinuities at large wingtip rotations. These discontinuities
on the aerodynamic surface can lead to significant drag pen-
alties and difficulties in sealing the internal components, both
aerodynamically and in terms of water/debris ingress.

Alternatively, a compliance-based morphing approach
could be taken, using geometrical and material compliance
to create an intrinsically smooth and gapless surface which
deforms compliantly during wingtip rotation. The geometry
of this surface could be freely optimised due to the removal of
constraints around mechanical interfaces needing to be radi-
ally symmetrical, allowing for the flare angle to be more effect-
ively ‘hidden’ from the flow. The authors previously intro-
duced the concept investigated here for achieving a morph-
ing SAH fairing based on compliant skins supported by pivot-
ing ribs [10]. In this concept, which is shown in figure 2, the
inboard wing and outboard wingtip spars connect to the hinge
joint, and a central rib pivoting around the hinge supports the
fairing.

The pivoting rib shares the same axis of rotation with the
wingtip joint and is able to rotate freely (separately from wing
joint rotation) to balance the moments created by the upper
and lower compliant skins in a way that helps balance the
required deformations on either side of the rib, thereby redu-
cing both the peak strain on the fairing and the folding stiffness
of the joint [10]. The pivoting rib also has the benefit of enfor-
cing the separation between the joint and the skins, avoiding
any contact or interference between them as the wingtip folds.
Additionally, the present study introduces floating ribs, which
are only connected to the skin panels. These floating ribs con-
nect the top and bottom skin, periodically enforcing the aero-
foil cross-section shape in their locations. They also shorten
the unsupported spanwise length of the panels, thereby redu-
cing their out-of-plane deformation. The implementation and
efficacy of this new addition to the overall concept is one of
the aspects studied in this work.

The fairing skins are proposed to be sandwich panels made
from a zero Poisson’s ratio core and elastomeric facesheets.
The zero Poisson’s ratio decouples the deformation in the
morphing direction from the direction perpendicular to it. This
decoupling enables large deformations in the morphing direc-
tion without significant necking effects. Corrugated sheets [12,
13] and cellular cores [14, 15] have previously been proposed
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Figure 1. Semi-aeroelastic hinge (SAH) concept. Reproduced from [8]. CC BY 4.0.
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Figure 2. GATOR panel fairing proposed for folding wingtip joints. (a) Shows the location of the proposed fairing on AlbatrossONE, a
small-scale flying demonstrator of the SAH concept. Reproduced with permission from [11]. © Airbus. (b) Shows the fairing section with
its supporting ribs. The fairing section is modelled as a shell surface with homogenised properties of the GATOR panel. (c) Shows the
GATOR sandwich panel. (d) Shows the rear view (YZ-plane) of the fairing with the connectivity of the supporting ribs.

as zero Poisson’s ratio cores for camber morphing [12], span
extension [14, 15] and folding wingtip [13] fairings. Cellular
cores are pursued in this work over the corrugated sheets
due to their higher achievable axial deformations and greater
design freedom in tailoring the equivalent elastic properties of
the core. While different unit cell shapes can produce a zero
Poisson’s ratio cellular core, this work considers cores made
from parallel ribs connected via bending chevrons [16] (known
specifically as MorphCore and more generally as an ‘accor-
dion’ geometry), as shown in figure 2(c). This core geometry is
preferred due to its simplicity and higher out-of-plane stiffness
relative to other zero Poisson’s ratio cores [17]. Facesheets are
attached to the top and bottom of this core to make a sandwich
panel which provides a continuous outer surface for airflow.
The separation distance between the two facesheets created by
the core provides the out-of-plane rigidity to carry the aerody-
namic pressure loads. This sandwich panel can be manufac-
tured via the fused filament fabrication 3D printing technique,
as demonstrated by previous work on the geometrically aniso-
tropic thermoplastic rubber (GATOR) morphing skin concept
[18, 19].

Due to the presence of many small features, sandwich pan-
els with cellular cores require a fine mesh to achieve con-
verged finite element (FE) analysis results. Hence, they are
computationally expensive to model in large structures such

as a wing section, where there could easily be thousands of
unit cells. An alternative is a two-scale approach, as indic-
ated in figure 2, where a homogenisation process determines
the equivalent shell properties of the sandwich panel, and a
shell surface is used to model the sandwich panel on the wing
section [20]. The latter can be implemented in commercial
FE solvers (e.g., Abaqus) by defining the elastic properties of
the shell elements using an equivalent shell stiffness matrix.
This equivalent shell stiffness matrix can be found by either
an analytical [17] or FE-based [21, 22] homogenisation pro-
cess on a unit cell of the sandwich panel. The FE-based homo-
genisation approach is pursued in this study as it captures the
effects of chevron-facesheet interaction [23], which is not cap-
tured in the analytical approach based on the classical laminate
theory [20]. The two-scale modelling approach significantly
reduces the computational cost relative to a full-scale simula-
tion of the fairing deformation, enabling a parametric study of
the design space.

This paper uses the two-scale modelling approach to study
the effects of the GATOR panel geometry and other fair-
ing variables on the torsional stiffness and the cross-section
distortion of the fairing [20]. First, the equivalent elastic
properties of the GATOR panel are found using an FE-based
homogenisation on a unit cell [21], which is the smallest
repeating unit shown in figure 2(c). Then, a shell fairing with


https://creativecommons.org/licenses/by/4.0/

Smart Mater. Struct. 34 (2025) 025049

N M Mahid et al

the homogenised properties of the GATOR panel is used to
simulate the deformation of the fairing as the wingtip folds.
The study aims to reduce the torsional stiffness and the distor-
tion of the fairing as the wingtip folds by tuning the GATOR
panel and the fairing variables. Hence, this paper presents a
parametric study of the design space offered by the GATOR
panels as a fairing for folding wingtip joints.

The following section of the paper presents the methods
used for homogenising the sandwich panels and generating the
fairing models, along with the definition of the metrics used to
measure the objectives. The subsequent section presents the
results from the analysis, along with a discussion of the find-
ings. The results are presented for a sensitivity study identi-
fying the variables strongly affecting the objectives and a
parametric study identifying trends of the objectives with the
design variables. Finally, the conclusions highlight the insights
from the study and their significance for further analysis of the
concept.

2. Modelling

The homogenisation of the unit cell’s elastic response captures
the equivalent shell stiffness of the plate at specific deform-
ation states. These deformation states can be represented as
shell strain states consisting of in-plane strains and out-of-
plane curvatures. The equivalent shell stiffness evaluated at a
given strain state may change significantly as the plate deforms
further due to geometric nonlinearity in the deformation and
the nonlinearity in the materials’ response [23]. The geomet-
ric nonlinearity in deformation can be captured by homogen-
ising the unit cell at each strain state and updating the shell
stiffness matrix of each shell element in the fairing based on
their strain state during the simulation (e.g., the FE?> method
[22]). However, this approach is more expensive than running
a full-scale simulation, as a unit cell model is spawned for each
integration point of shell elements in the fairing and homo-
genised simultaneously with the fairing simulation [22]. An
alternative approach is to pre-compute a database of equival-
ent shell stiffness matrices at various strain states and update
the shell element’s constitutive properties using interpolated
values from the database. While this approach is computation-
ally cheaper than the FE? method, it still requires extensive
pre-computation of all achievable strain states for every unit
cell geometry. Given this, a simpler approach assuming linear
elastic stiffness properties is preferred for this initial paramet-
ric study to reduce the computational cost further. The linear
elastic stiffness properties from the undeformed GATOR panel
are used in the shell model. Hence, the changes in the stiffness
of the GATOR panel due to geometrically nonlinear deforma-
tion are not accounted for in the shell model used in this study.
The effect of assuming linear elastic stiffness to reduce com-
putational cost is studied in section 2.3 by comparing the shell
model with a full-scale model for a simplified model repres-
entative of a fairing slice along the span at the thickest aerofoil
location.

The GATOR panels manufactured in previous work were
fabricated via muti-material 3D printing using two different

Unit Cell

Core Geometry

Ty
— >
2

Ninjaflex

21

Figure 3. The geometry of the GATOR panel unit cell.

Table 2. Elastic properties of the materials used for the panel [18].

Property Armadillo Ninjaflex
Young’s Modulus [MPa] 396 22.9
Poisson’s ratio 0.48 0.48

formulations of thermoplastic polyurethane manufactured by
Ninjatek. A soft material, ‘Ninjaflex’, capable of 65% strain
before yield [24], is used for the facesheets, while a stiffer
material, ‘Armadillo’, capable of 18% strain before yield [25],
is used for the core, as shown in figure 3.

The experimental tests on the GATOR panels show notice-
able material-induced softening at high strain states and hys-
teresis response in cyclic loading [18]. Hence, a hyper-elastic
material model should ideally be used in homogenising panel
stiffness to capture the complex material response across the
whole elastic deformation range. However, for strains less
than 10%, the experimental results show good agreement with
FE simulation using linear elastic mechanical properties for
Ninjaflex and Armadillo [18]. As the current study evaluates
the GATOR panel’s initial stiffness response, the same lin-
ear elastic material properties from the literature [18] are used
in this homogenisation process. These material properties are
shown in table 2.

The unit cell’s geometry significantly affects the panel’s
equivalent stiffness properties. The homogenisation process
evaluates an equivalent shell stiffness matrix at the panel’s
undeformed strain state. This shell stiffness matrix is used
as linear elastic constitutive properties for the shell model of
the fairing section shown in figure 2(b). The desired prop-
erties of the shell stiffness to achieve low torsional stiffness
and distortion of the fairing include high in-plane flexibility in
the morphing direction (i.e., 1-axis), near-zero Poisson’s ratio
in the non-morphing direction (i.e., 2-axis), and high out-of-
plane stiffness. The effects of unit cell geometry on these prop-
erties are studied using the range of values and default config-
uration shown in table 3.

The range of values used for each panel variable is adapted
from the previous parametric study of the GATOR panel [23]
to capture the geometry with the desired properties for the fair-
ing. The default configuration is arbitrary and approximately
represents the mid values of the ranges.
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Table 3. Variables of the sandwich panel.

Variable Default Minimum Maximum Unit
Chevron angle 0. 60.0 40.0 70.0 deg
Chevron wall length I 125 5.0 20.0 mm
Chevron wall thickness . 1.0 0.5 1.5 mm
Chevron separation d 6.0 2.0 10.0 mm
Rib thickness i 1.0 0.5 1.5 mm
Core thickness b 11.0 2.0 20.0 mm
Facesheet thickness te 0.8 0.1 1.5 mm
Table 4. Variables of the fairing section.
Variable Default  Minimum  Maximum  Unit
Pre-tension €p 0.1 0 0.2
Span L 0.8 0.6 1.0 m
Floating ribs Ny 0 0 2

The fairing section has a root chord (c) of 1.6 m, represent-
ing the tip chord of a typical single-aisle commercial jet air-
liner (e.g., A320 aircraft [26]). A symmetric aerofoil profile,
in this case, NACA 0015, is used to avoid folding deformation
of the wingtip due to applied pre-tension on the skin panels.
In an unsymmetric aerofoil profile, the unbalanced moment
contribution from the top and bottom skins due to pre-tension
will result in a non-zero initial folding angle. While this is
not expected to cause any real issue during the implement-
ation of the device (it would just cause small offsets in the
torque response curves), for this parametric study, it is helpful
to have the partial simplification of a symmetric initial condi-
tion. Additionally, the wing section used for the analysis has
no taper, sweep or flare angle, further simplifying the fairing
geometry. This model is used to study the effects of varying
fairing variables on the objectives of low torsional stiffness
and cross-section distortion. The default configuration and the
range of values for the fairing variables are shown in table 4.

The range of values used for each fairing variable is adapted
from the previous parametric study of the fairing for folding
wing joints [10]. The default configuration represents the mid
values of the ranges, except for the floating ribs whose default
value is zero, as they are newly introduced in this study.

The stiffness matrix required to define the constitutive prop-
erties of shell elements depends on the shell formulation used
in the fairing section. A shell surface modelled using the
Kirchoff-Love plate theory only requires the in-plane stiffness
matrix (A), out-of-plane stiffness matrix (D) and the coup-
ling matrix between the in-plane and the out-of-plane deform-
ation (B) to define its constitutive properties. The formula-
tion assumes that the plate’s thickness remains unchanged and
the cross-section remains straight and perpendicular to the
mid-plane after deformation. These assumptions are valid for
panels with negligible transverse shear flexibility. The effect
of transverse shear flexibility is negligible for panels with a
high length-to-thickness ratio (typically >15 for homogenous
plates [27]).

The homogenisation process uses a unit cell of the
GATOR panel as the representative volume element (RVE).

In the default configuration, this unit cell has the dimensions
12.5 x 359 x 12.6 mm in 1, 2, and 3 directions, respect-
ively. For simplicity, these dimensions are referred to as the
length, width and thickness, respectively. In the default con-
figuration with no floating ribs, the length-to-thickness ratio
is 31.7 for the unsupported panel length between ribs. Given
the high length-to-thickness ratio in the default configuration,
the Kirchoff-Love plate theory is used to simulate the panel
deformation, thereby ignoring the effects of transverse shear
deformation. However, it is noted that the length-to-thickness
ratio of the panel changes with the panel thickness, the fairing
span and the number of floating ribs. For the thickest panel, the
shortest span and the most floating ribs, the length-to-thickness
ratios of the panel are 17.4,23.8 and 10.6, respectively. Hence,
in all but one case, the length-to-thickness ratio of the panel
exceeds the typical value of 15 used as a threshold for homo-
genous plates [27]. Additionally, for accurate results with a
two-scale modelling approach, the length scale of the RVE
should be at least an order of magnitude smaller than the panel
length scale [28]. In this case, the shortest panel length config-
uration (i.e., fairing with 2 floating ribs) gives a panel length
to RVE length ratio of 10.7 in the morphing direction (i.e., 1-
axis), providing sufficient scale separation to use the two-scale
modelling approach.

The simplifications described above enable a computation-
ally affordable design space exploration of the fairing via a
two-scale modelling approach. In exchange, the use of linear
material properties in the RVE and linear homogenised stiff-
ness properties in the fairing may not provide accurate res-
ults for large folding angles of the wingtip. However, the two-
scale approach provides adequate fidelity to study the effects
of the design variables on the fairing objectives in low fold-
ing angles. The fairing designs with high torsional stiffness
and large distortions at low folding angles are not viable for
large folding angles of the wingtip, and the proposed model-
ling approach can identify these designs, thereby reducing the
design space to feasible solutions. Hence, the two-scale mod-
elling approach is useful for understanding the basic design
trade-offs and highlighting promising configurations for future
analysis with more expensive methods better suited to captur-
ing material and geometric nonlinearity.

2.1 Homogenisation of the flexible sandwich panel

Various forms of homogenisation for cellular cores and sand-
wich panels have been explored in literature. Analytical
approaches to homogenisation typically use equivalent core
properties and isotropic facesheet properties with the classical
laminate theory to evaluate the shell stiffness matrix for the
sandwich panel. The equivalent properties of the core are eval-
uated by modelling the deformation of the cell walls as shear
deformable beams [14, 17, 29, 30]. The equivalent proper-
ties evaluated using this approach for an isolated core with
thin walls have shown good agreement with FE simulation
results [30]. However, in a sandwich panel, the intermittent
bonding between the core and flexible facesheets introduces
non-uniform deformations on the facesheets [23]. The clas-
sical laminate theory does not capture these effects; hence, the
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analytical homogenisation underpredicts the stiffness of the
sandwich panel.

FE-based homogenisation approaches model a RVE with
periodic boundary conditions (PBC). The RVE is deformed
in each shell deformation mode to evaluate the corresponding
column of the shell stiffness matrix [21]. FE-based homogen-
isation offers a robust method of homogenising a wide range
of unit cells by giving the flexibility to use beam, shell or
solid elements depending on the wall dimensions of the core.
For instance, the cell walls in thick cores have low aspect
ratios, which deviate from beam theory assumptions. These
walls must be modelled using either shell or solid elements.
Similarly, in cases where the cell walls are thick, they must
be modelled with solid elements. Moreover, FE-based homo-
genisation can capture the effects of non-uniform deformation
on the facesheets. Hence, this approach is more suitable for
homogenising the elastic properties of the flexible sandwich
panels studied here than the analytical approach described
above.

The unit cell of the panel is modelled using linear elastic
material properties and homogenised using linear perturbation
from the undeformed state. The unit cell, shown in figure 3, is
the RVE that tessellates to form a continuous panel. Hence, the
deformation on each side of the unit cell must be compatible
with the corresponding deformation of the side of the adja-
cent unit cells. This constraint is enforced by the PBCs, which
are applied as equations coupling the deformation of a pair
of nodes on opposite faces of the RVE. The PBCs for a plate
constitute in-plane and out-of-plane equations applied only on
nodes at the vertical faces, as the top and bottom faces remain
traction-free [21].

Consider an RVE symmetric about all three axes and
centred at the origin. Let xf%¢. and uf3%: be the coordinates
and displacements of the nodes, where the superscript refers
to faces in each axis (e.g., 1 for the positive face and 2 for
the negative face of the axis), and the subscript refers to the
degree of freedom of the node. The constraint equations link-
ing the pair of nodes on opposite vertical faces are shown
in Equation 1, followed by the definition of their coefficients
[21, 31, 32],

%sz zAx; 0 %zsz

%Axl 0 zAx %zAxl

0 0 0 0 0 ic

€11
€22

Y12
X 1
. (D

K22
K12

where:

2

Ax; =x} —x}, Axy=x)—x3,

Z=x3=x3, C=— (x}xé —x 2).
Additional reference nodes, n° and n” are introduced to the
FE model to apply RVE deformation using the displacement of
the reference nodes. The locations of these reference nodes are
arbitrary; hence, they are not specified here, as only their dis-
placements affect the RVE deformation. The in-plane deform-
ation of the RVE due to strains €1, €2, and +yj, are applied
via the displacement of the reference node n® in degrees of
freedom 1, 2 and 3, respectively. Similarly, the out-of-plane
deformation of the RVE due to curvatures sy, k22 and K2
are applied via the displacement of the reference node n".
Note that the shear strain () and torsional curvature (x13)
are defined in the engineering form (i.e., 7, = 24 4+ 2% and

3)62 3}61
2(8* . . .
ngz ;;]) ); hence, a factor of % is used with the coefficient

of these deformation modes.

To populate the stiffness matrix, the unit cell is deformed in
each shell deformation mode while keeping the deformations
in the other modes zero. For instance, an axial strain e;; = 1 is
applied via displacements on reference nodes u{ = 1 and u5 =
u5 = uf = uy = uj = 0. The reaction loads are extracted from
the reference nodes and divided by the unit cell’s initial in-
plane area to evaluate the column of the shell stiffness matrix
K14 corresponding to the applied deformation. The expres-
sion for the shell stiffness matrix is shown in equation (2),

Ri2 =

1
K i) = 2
plate( 71) HARVE 2
where:
A B
Kplate: |: B D :|7
w e el T
F:[ T’ ;7 g’ 1 2>F3]7

u= [L‘Tau§7u§’u’fvugau’3€]T'

The variable Agyg is the in-plane area of the RVE (i.e. 1-2
plane shown in figure 3), and i is the row index of the displace-
ment vector # and column index of the shell stiffness matrix
K iare- The simulation process is repeated in all six deformation
modes to evaluate the full stiffness matrix. Each simulation is
carried out as a linear perturbation analysis; hence, a value of
1 is used for each non-zero deformation mode for simplicity.
These deformation modes are shown in figure 4.

Note that additional constraints can also be used to apply
pure transverse shear deformation to the unit cell to evaluate
the transverse shear stiffness matrix [22]. The transverse shear
stiffness matrix should ideally be evaluated for cases with low
panel length-to-thickness ratios. However, as the panel length-
to-thickness ratio is sufficiently high for the default configur-
ation, and evaluating the transverse shear stiffness matrix is
significantly expensive due to additional constraints required
on all RVE nodes [22], this study does not explicitly evaluate
the transverse shear stiffness matrix.

The geometric variables of the panel are highlighted in
figure 3, and their default values and bounds for the para-
metric study are shown in table 3. The unit cell is generated
and meshed in GMSH [33], an open-source meshing software.
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(b) &2

(a) €11

(€) Y12

Figure 4. Deformation modes of the RVE used in the homogenisation process.

The unit cell is modelled using first-order brick elements with
reduced integration (i.e. ‘C3D8R’ elements) as they provide
converged results with a coarser mesh. An average mesh size
of 1 mm is used to mesh all the unit cells. The material proper-
ties and the constraints equations are added to the input file for
the Abaqus [27] FE solver, followed by the boundary condi-
tions and the loading steps. The solid elements have 3 degrees
of freedom on each node. Hence, the only boundary condition
used in this case is a pin constraint on an arbitrary node without
any other constraint to avoid rigid body motion. The loading
steps were added as 6 different load cases, each deforming the
RVE in one of the shell deformation modes (i.e. €11, €22, V12,
K11, K22, k12) While the other values are zero. For each deform-
ation mode a unit displacement is applied to the corresponding
reference nodes (i.e., uf, u5, u5, uy, uy, uy) while the other ref-
erence nodes’ displacements remain zero.

GMSH and Abaqus are run automatically through an
application programming interface, which is compatible with
Python programming language. Following the homogenisa-
tion simulation, the results are automatically extracted from
the output file using a Python script and saved as a shell stiff-
ness matrix. Hence, the full homogenisation process is auto-
mated using a bespoke Python script, enabling large batch runs
and parallel processing.

2.2. Fairing model as a shell surface

Like the homogenisation process, the analysis of the shell fair-
ing is repeated for various geometries of wing sections and
equivalent shell properties. The process of mesh generation,
FE analysis, and results extraction are therefore automated
using a Python script, enabling simultaneous analysis of mul-
tiple cases. This section describes the process of generating
the fairing model for FE analysis and extracting the simula-
tion results for the parametric study.

The geometry of the wing section is defined in three steps.
First, the nodes of the flared ribs are defined using analyt-
ical expressions that account for the wing’s sweep angle and

taper ratio. Next, the surface nodes of the ribs are offset
inward in the direction normal to the surface by half the thick-
ness of the panel. The offset nodes represent the midplane of
the GATOR panel fairing, where the homogenised equivalent
stiffness properties are defined. Finally, the surface geometry
of the wing section is defined in GMSH using the offset nodes
of the flared ribs.

Initially, a grid of normalised chord locations x € [0,1] and
spanwise rib locations Y € [0, L] is defined at the midplane (i.e.
Z =0) for a wing section of a given span (L). A pivot point
is defined for each rib using a uniform normalised chordwise
location (x, ) but a different spanwise location (Y ). The grid
points representing each rib are scaled, translated and rotated
around their pivot point to account for their local chord, sweep
angle, and flare angle. This transformation is carried out using
the expressions in equations (3)—(5)

X ="Ysing +xc<l—§(1—T)> 3)
X=X\— (Y— YA)COtA “4)
Y:c(xA( —YTA(I—T))—x)—&—YA(cotA—ksinA). )

cotA+sinA —xcy (1-T)

The parameters ¢, ¢ and T represent the wing section’s root
chord, sweep angle and taper ratio, respectively. Equation (3)
represents a line along the span at a given normalised chord
location (x) and is used to evaluate the X coordinates of the
scaled grid points. Equation (4) represents a line along the
rib rotated by flare angle (A) about the pivot point of the rib.
Combining equations (3) and (4) gives equation (5), which
evaluates the Y coordinates of the transformed grid. This trans-
formed grid is shown in figure 5(a) along with the pivot point
of each rib.

The transformed grid is used with the NACA 4-digit series
[33] aerofoil equations to define the nodes representing the
outer surface of the ribs. These nodes of the ribs are shown
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Figure 5. Fairing geometry. (a) Shows the X and Y coordinates of
the scaled grid and rotated grid. (b) Shows the aerofoil nodes (i.e. Z
coordinates) generated using the grid. In both figures, the red
crosses represent the pivot point of the ribs.

in figure 5(b), along with the pivot points, which will be used
to define the constraints for the FE simulation.

The rib nodes defined above are at the outer surface of
the wing section. However, the homogenised shell stiffness
is defined at the midplane of the GATOR panel. Hence, the
rib nodes are offset by half the panel thickness in the direc-
tion of the inward pointing unit normal vector, as shown in
equation (6),

pirapine — peurface %Pn, where Py=[Xx v z]".
(6)

The variable #, represents the thickness of the panel, 71;; rep-
resents the unit normal vector, and the indices i and j refer to
the grid location of the node in spanwise and chordwise direc-
tions. The normal direction is derived by rotating the tangen-
tial direction of the aerofoil equation by 90 degrees, while the
derivative of the aerofoil equation gives the tangential direc-
tion. The offset nodes are used to create the surface represent-
ing the midplane of the fairing panel in GMSH. The fairing
surface is discretised using a structured mesh with first-order
quadrilateral elements (i.e. ‘S4R’ elements) with an average
mesh size of 20 mm.

The linear elastic constitutive properties of the shell sur-
face are defined using the equivalent shell stiffness matrix
from the homogenisation process. Abaqus further estimates a
transverse shear stiffness matrix if it is not explicitly defined,
as the shell element used (i.e., ‘S4R’) is formulated based
on the Reissner—Mindlin plate. This formulation approaches
the Kirchoff-Love plate formulation as transverse shear stift-
ness increases. The transverse shear stiffness matrix is estim-
ated using the in-plane stiffness matrix [34], as shown in
equation (7),

1 1
Kii=K»n= 3 (A1 +Axn)+ §A66 and K, =0 @)
Vi3 K1 Ki2 13
where = .
[ Va3 ] [ Ky Kxn } [ V23 }

The variables V3 and 7;; where i € [1, 2] represent distrib-
uted transverse shear force and transverse shear strain, where
i is the normal direction of the RVE face. As the panel is stiff
in the 2-axis, the estimated transverse stiffness is also high,
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Figure 6. Schematic of the fairing variables, coordinate systems
and additional nodes for constraints and loading. Nodes ‘AN-1" and
‘AN-2’ are co-located with the point ‘RN-2" (shown slightly
separated for clarity). XYZ-axes is the global coordinate system, and
123-axes is the hinge and the material coordinate system.

thereby reducing the transverse shear deformation and mak-
ing the shell deformation closer to that of the Kirchoff-Love
plate formulation.

The fairing variables, coordinate systems and the additional
nodes used to define the constraints are shown in figure 6.

It shows the 123-axes, which define both the hinge orienta-
tion and the orientation of the shell stiffness properties. A cyl-
indrical coordinate system with the same directions shown in
123-axes (i.e. 1-axis being longitudinal and 2-axis being cir-
cumferential direction) is projected to the fairing surface to
define material orientation on each element. The panel’s stiff
axis is aligned with the hinge axis, enabling the panel’s flex-
ible direction to undertake the greatest proportion of deforma-
tion due to folding. Hence, the projected 1-axis represents the
morphing direction of the panel, and the 2-axis represents the
stiff direction.

Additional nodes ‘AN-1" and ‘AN-2’, shown in figure 6, are
introduced to define the constraints required to model the fold-
ing wingtip. These nodes are co-located with the hinge, which
is represented by the pivot point of the central rib. This pivot
point of the central rib is shown as ‘RN-Hinge’ in figure 6. The
fairing model can be reduced to a half model for wing sections
symmetric across the central rib. The wing section is symmet-
ric across the central rib for untapered and unswept wings with
zero flare angle. The constraints applied to the ribs differ based
on whether the model is a full model or a half model. Hence,
these constraints are listed in table 5.

The rest of the constraints are applied to pivot points and the
additional nodes to restrict the motion of the ribs. Firstly, the
fixture of the inboard rib is enforced by fixing the node ‘AN1".
Next, the co-location of ‘AN-2’ and ‘RN-Hinge’ with ‘AN-1’
is enforced by constraining the translation of ‘AN-2’ and ‘RN-
Hinge’ to that of ‘AN-1’. Similarly, the hinge connection of
the wingtip and the central rib is enforced by constraining the
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Table 5. Constraints applied to fairing ribs.

Full model

e The nodes of the inboard and outboard ribs are rigidly connected
to ‘AN-1" and ‘AN-2’, respectively.

e The nodes of the central rib are rigidly connected to ‘RN-Hinge’.

e The nodes of the floating ribs are rigidly connected to their
respective pivot point.

Half model

e The nodes of the inboard rib are rigidly connected to ‘AN-1".

e The nodes of the central rib are rigidly connected to ‘AN-2".

e The nodes of the floating ribs are rigidly connected to their
respective pivot point.

rotation of ‘AN-2" and ‘RN-Hinge’ to the hinge axis, shown
as the 2-axis in figure 6. These two constraints are applied in
Abaqus using the ‘Join, Revolute’ connector sections.

The fairing is loaded with an initial pre-tension step fol-
lowed by a folding step. Pre-tension is applied to the fairing in
the direction perpendicular to the hinge using artificial thermal
loads. A pre-strain load vector F', representing the distributed
load generated on a constrained plate due to unit temperature
change (AT), is defined with the constitutive properties of the
shell section. The applied temperature change in this case is
—1, and the resulting thermal load (Nermar) 1 applied to the
shell elements, as shown in equation (8),

N= Kplate€ — Nihermal (8)
where

Nihermal = ATF)
F=Kpe[s, 00 00 0 .

The wingtip folding deformation is applied as rotation to
the node ‘AN-2’. Note that the nodes ‘RN-Hinge’ and ‘AN-
2’ are constrained to rotate only about the hinge axis. As a
result of this constraint, a rotation of the node ‘AN-2’ defined
around the global X-axis will also result in a rotation around
the global Y-axis to ensure the overall rotation of the node is
always around the hinge axis. Hence, for simplicity, rotation is
applied to the FE model as an X-axis rotation on ‘AN-2’, and
the resulting reaction moment is also measured around the X-
axis. This rotation and moment around the global X-axis are
resolved to rotation and moment around the hinge axis using
equations (9) and (10).

Ox

0 —
cos A ©)
My
M= . 1
cos A (10)

Note that the applied rotation angle is different for the full
and half model of the fairing. In the full model, folding rota-
tion (@) is applied to the outboard rib through the node ‘AN-
2, effectively rotating the entire section outboard of the hinge

(i.e. the wingtip). In a symmetric wing section, the consequent
rotation of the central rib is always half of the folding angle of
the wingtip. Hence, in a half model, half the folding angle of
the wingtip is applied to the central pivoting rib, again through
the node ‘AN2’, to achieve equivalent fairing deformation.
This rotation applied to the central rib of the half model is
hereafter referred to as the rotation angle (4).

For instance, consider a full model simulation of the
baseline fairing at an 80-degree folding angle of the wingtip,
shown in figure 7.

The deformation at the inboard region up to the central
rib is identical to that of a half model with a 40-degree rota-
tion angle applied to the central pivoting rib. However, the
half model would produce half the reaction moment compared
to the full model. Hence, the reaction moment from the half
model should be doubled before comparing it to that of the full
model. All the fairing configurations analysed in this study are
symmetric about the central pivoting rib. Hence, they are ana-
lysed using the half model, thereby significantly reducing the
FE simulation time.

2.3. Method validation with a simplified geometry

The two-scale modelling approach is validated by comparing
its results with a full-scale model for a simplified geometry. A
fairing slice along the span is modelled at the thickest chord-
wise location of the aerofoil (i.e. at 30% chord for NACA 0015
aerofoil), where the deformation is greatest. This slice has a
width of 1 cell (i.e. 35.9 mm) in the chordwise direction and a
span of half model of the fairing (i.e. 400 mm). The chordwise
ends of the slice are free, while the boundary conditions at the
spanwise ends are the same as the fairing half model described
in table 5. The results presented show the disparity between
the two-scale and full-scale models due to the assumption of
linear elastic stiffness properties for the shell elements.

Two cases were used in this study, one without pre-strain
and the other with 10.3% pre-strain. For the shell model, pre-
strain was applied using a thermal load, as described for the
wing model in section 2.2. The full-scale model without pre-
tension has 32 cells along the span. For the full-scale model
with 10.3% pre-strain, the pre-strain was applied by defining
29 cells (i.e. 362.5 mm) along the span and stretching it to the
span of the half model (i.e. 400 mm). A rotation was applied
to both models, and their reaction torques were measured as
described in section 2.2. The deformed shape of the full-scale
model with 10.3% pre-strain and the torque response of all
two-scale and full-scale models are shown in figure 8.

Figure 8(b) shows close agreement between the two-scale
and the full-scale models where the strains are relatively low.
For the model without pre-strain, the error in the shell model
relative to the full-scale model at 20-degree rotation is 3.2%.
The error is slightly higher, at —9.4% for the case with 10.3%
pre-strain at 20-degree rotation. This increase in error is due
to the changes in the stiffness properties of the sandwich panel
at high strain states. As the shell model assumes linear elastic
stiffness properties, it does not capture the effects of stiffness
changes in the sandwich panel due to geometric nonlinearity
in the deformation.
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Figure 7. Deformed shape of the fairing full model at 80-degree rotation of the wingtip. (a) Shows the 3-dimensional view, (b) the

leading-edge view, and (c) the trailing-edge view of the fairing.
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Figure 8. Comparison of full-scale and two-scale models for a simple geometry. (a) Shows the deformed shape of the full-scale mode with
10% pre-strain, and (b) shows the torque response for the applied rotation.

Despite the small error introduced by the shell model due
to assumed linear elastic stiffness properties, it captures the
effect of pre-strain comparable to the trends shown by the
full-scale model. In both models, torque increases due to
the applied pre-strain relative to the case without pre-strain,
indicating the effect of the design variable on the perform-
ance objective. Hence, the two-scale model offers a prac-
tical analysis approach for a parametric design study at a
fraction of the computational cost relative to the full-scale
model.

2.4. Metrics for fairing objectives

The study aims to identify the geometric features which
improve the objectives of reducing the torsional stiffness of the
joint and cross-section distortion of the fairing. Hence, these
objectives must be quantified to compare the effect of various
design variables on them. The reaction torque on the joint at
a prescribed rotation angle is used to represent torsional stiff-
ness, and it is evaluated from the FE results using the expres-
sion in equation (10). In contrast, the distortion of the fair-
ing is visually noticeable, as shown by the deformed baseline
fairing in figure 6. However, they are difficult to quantify as
there is no a priori known desired shape to calculate the dif-
ference between a deformed shape and a desired shape in
the simulation. Instead, three different metrics are studied to
quantify the cross-section distortion. These metrics are based
on three physically meaningful quantities integrated over the
fairing surface, namely energy, curvature, and displacement,

as defined in equations (11)—(13),

: AJiy—
Energy metric = in—plane

AJout—of— plane
A(3XAN-¢€)
ALY AM - k+V-7v))

2 Ze (H%—}_H%)
\/Ze “11+“22+ 5K1,) (12)

E u3j

an

Curvature metric =

13)

Displacement metric = — Z us; —

Equation (11) shows the energy metric, representing the
ratio of incremental change in the strain energy due to in-plane
and out-of-plane deformations. The summation is over all shell
elements, and the variable A represent element area. The vari-
ables N, M and V are the vectors of distributed in-plane forces,
out-of-plane moments and transverse shear forces of shell ele-
ments, respectively. The variables €, k and -y are the vectors of
in-plane strains, out-of-plane curvatures and transverse shear
strains of shell elements, respectively. The equation shows
that the out-of-plane deformation energy includes bending and
transverse shear deformation energies. However, the trans-
verse shear deformation energy contributes less than 5% of
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the total out-of-plane deformation energy in all the cases con-
sidered in this section. Hence, the transverse shear deforma-
tion has a negligibly small effect on the energy metric.

Equation (12) shows the curvature metric, representing an
area-weighted root mean square (RMS) of principal curvatures
of the shell surface. The principle curvatures are annotated as
k1 and k. However, for simplicity, the equivalent expression
of engineering curvatures x11, k23 and k1, of the shell element
are used to evaluate the metric.

Equation (13) shows the displacement metric, represent-
ing the difference in the average vertical displacement of the
nodes on the bottom and top surfaces of the fairing. For the half
model used in the analysis, this metric represents the average
reduction in the thickness of the wing section. In this case, the
summations are over the vertical displacement of the nodes in
the bottom and top surface. The variable ny, and n; represent the
number of nodes in the bottom and top surface, respectively.

In order to have an initial understanding of the response
of the fairing and the usefulness of the performance metrics,
the effects of increasing the number of floating ribs on three
different magnitudes of fairing rotation are studied, as shown
in figure 9.

It shows the folding response of the fairing for different
metrics alongside snapshots of the deformed shape at various
rotation angles. Note that the results presented are for a half
model; hence, the 40-degree rotation angle of the pivoted rib
is equivalent to an 80-degree folding angle of the wingtip. The
number of floating ribs (ng) is changed between the cases,
leading to a different unsupported panel length between the
ribs. Adding floating ribs (n) reduces the cross-section distor-
tion of the fairing but at the cost of increased torsional stiffness
of the joint. The top graph in figure 9(a) shows the increase in
torque with the number of floating ribs (ns). The middle and
bottom graphs show the effect of the number of floating ribs
(ng) on the metrics considered to quantify the cross-section
distortion of the fairing.

The middle graph in figure 9(a) shows the energy met-
ric normalised by its initial value for each case. It shows a
steep drop in the metric as the fairing undergoes large out-
of-plane deformation due to buckling of the top skin between
20 to 30 degrees of rotation. This sharp drop in the metric
aligns with the softening of the torque gradient in the top graph
of figure 9(a), indicating a drop in stiffness. It further aligns
with the significant increase in cross-section distortion shown
between the same rotation angles in figure 9(b). Hence, the
normalised energy metric is useful in indicating the rotation
angle beyond which the cross-section gets distorted signific-
antly due to the buckling of the top skin.

The in-plane and out-of-plane components of strain energy
increase with the number of floating ribs, as shown in the
middle graph of figure 9(a). In contrast, figure 9(b) shows
reduced cross-section distortion with more floating ribs (n¢).
The increase in out-of-plane strain energy is due to the increase
in the number of rib bays, each with a similar deforma-
tion mode shape to that of the fairing with no floating ribs
(ng). Hence, the ‘wavelength’ of the out-of-plane deforma-
tion decreases with the floating ribs (ny), leading to increased

curvature, as shown by the curvature metric in the bottom
graph in figure 9(a). The curvature increase on the fairing
increases the out-of-plane strain energy for the fairing with
more floating ribs (ng), despite it reducing the distortion of
the fairing. The reduced out-of-plane displacement with more
floating ribs (ng), as shown in figure 9(b), further results in
greater in-plane displacement (e.g. more compression on top
surface), thereby increasing the in-plane strain energy.

The curvature metric is useful for comparing the effects
of design variables on the fairing objectives for cases with
a constant number of floating ribs. Authors previously used
a curvature-based metric to compare the effects of sandwich
panels with positive, negative and zero Poisson’s ratio core on
the fairing objectives [20]. The displacement metric shown in
the bottom graph of figure 9(a) further compares the effects
of floating ribs on the fairing distortion. The figure shows
that the displacement metric decreases with more floating ribs
(ng), which is consistent with the deformed shapes shown in
figure 9(b). Moreover, similar to the normalised energy metric,
the displacement metric shows a change in the gradient where
the out-of-plane displacement of the fairing rapidly increases
due to the buckling of the top skin. This change gradient in
the displacement metric aligns with the softening of the torque
gradient, indicating a drop in stiffness.

Each metric provides some insights into the effects of
the design variable on the fairing objectives. The normalised
energy metric indicates the rotation angle at which the top skin
buckles and the curvature metric indicates the out-of-plane
deformation as the wingtip folds. However, in the case of vary-
ing numbers of floating ribs, their trends are inconsistent with
the visually observed distortion of the fairing shape. In con-
trast, the displacement metric indicates out-of-plane deforma-
tion as the wingtip folds and the rotation angle at which the
top skin buckles. Its trends are consistent with the visually
observed distortion of the deformed fairing shape. Hence, the
displacement metric offers a robust measure that better repres-
ents the distortion of the cross-section shape for this paramet-
ric study.

In the rest of the study, the reaction torque is used to meas-
ure torsional stiffness and the displacement metric is used to
measure fairing distortion as the wingtip folds. These metrics
are used in the following section to study the sensitivity of the
objectives to each design variable and the trends of the object-
ives with the design variables that strongly affect them.

3. Results and discussion

Two types of analyses are carried out using the models presen-
ted above. First, a sensitivity study of the fairing objectives is
presented for each design variable. This study enables the vari-
ables that strongly affect the objectives to be selected for more
detailed parametric studies, thereby reducing the design space.
In the parametric study, a pair of variables strongly affecting
at least one of the objectives are studied to identify the trends
and the ranges of design variable values that reduce trade-
offs between the objectives. The parametric study focuses on
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Figure 9. Various metrics used to quantify the objectives for cases with varying numbers of floating ribs (n;). (a) Shows the response of the
metric for a half model. (b) Shows snapshots of deformed shapes from the rear of the wing at various rotation angles.

the panel layer thicknesses, chevron geometry and the fairing
variables. Moreover, considering the buckling of the top skin
between 20-30 degrees of rotation, as shown in figure 9, the
results presented for the parametric study use the torque and
distortion metric values from 20-degree rotation.

3.1 Sensitivity study

In the parametric study, each design variable is swept through
a set of values uniformly distributed between the limits shown
in tables 3 and 4 for panel and fairing variables. Ten sample
points are used for each panel variable, while five are used for
each fairing variable (except for the number of floating ribs,
which has 3 discrete values). The sensitivity of each objective

to the variation in each design variable is evaluated by calcu-
lating the range of variation in the objective value as a per-
centage of its value in the baseline configuration. The expres-
sion for sensitivity value is shown in equation (14), where the
objective value is shown as O; with i referring to minimum,
maximum or default value,

Omax -

e Oni
Sensitivity = =

(14)
Odefaull

The evaluated sensitivity of the metrics to changes in each
design variable is shown in figure 10.

Figure 10 shows that all the panel variables significantly
influence torque (>5%), with facesheet thickness (#) having
the predominant effect, followed by the chevron dimensions.
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Figure 10. Sensitivity of the objectives to changes in each variable.
Torque and distortion are for the 20-degree rotation of the half
model.

Chevron length (/) has the dominant influence from the chev-
ron dimensions, followed by the chevron angle (6..) and thick-
ness (t.). For all the panel variables except the core thickness
(b), their effect on the distortion metric is much smaller than
their effect on torque. The core thickness (b) and the chevron
length (I.) significantly influences the distortion metric, with
the influence of the other variables being relatively small (<
5%). In contrast, all the fairing variables show a strong influ-
ence on both objectives, with the number of floating ribs (ng)
and the pre-strain across the hinge (¢p) having the dominant
effect on the distortion metric, followed by the fairing span (L).
The observations from the sensitivity study enable the reduc-
tion of the design space by eliminating the variables that do
not significantly influence the objectives. The following para-
metric study of the influential variables shows the trends of
the objectives and useful ranges of the variable values that
improve the objectives.

3.2. Panel layer thicknesses

In the parametric study, a variable that strongly influences an
objective is paired with another variable that strongly influ-
ences the other objectives to explore the feasibility of decoup-
ling the objectives and reducing their trade-off. The core thick-
ness (b) strongly influences the distortion metric, with a smal-
ler effect on the torque. In contrast, the facesheet thickness (#)

strongly influences torque with negligible effect on distortion.
Hence, the core thickness (b) paired with the facesheet thick-
ness () offers a relatively decoupled design space to improve
both objectives.

The torque and distortion responses for various core thick-
ness (b) and facesheet thickness (#) values are shown in
figure 11(a).

For comparisons between the cases, the torque and distor-
tion values are shown for a rotation angle of 20 degrees before
the onset of top skin buckling. The blue lines show steep reduc-
tions in distortion with relatively modest increases in torque
for increasing core thickness (b). The red lines show large
increases in torque with relatively small increases in distor-
tion for increasing facesheet thickness (#;). These effects on
the fairing objectives are related to the changes in the panel’s
axial stiffness and bending rigidity in the morphing direction
(i.e. 1-axis). The panel’s axial stiffness and bending rigidity
for a nominal 1 x 1 m flat panel are shown in equations (17)
and (18), respectively,

Axial Stiffness = t,E; (15)
3D
Bending Rigidity = ”1—21 (16)

The variable ¢, is the panel thickness, E| is the equivalent
modulus from the in-plane stiffness matrix (i.e. A-matrix), and
E? is the equivalent modulus from the out-of-plane stiffness
matrix (i.e. D-matrix).

Figure 11(b) shows the axial stiffness and bending rigidity
in the morphing direction for various core (b) and facesheet
thicknesses (#r). The blue lines show large increases in bending
rigidity with increasing core thickness (b), which consequently
reduces the fairing distortion. The red lines show large
increases in the axial stiffness with increasing facesheet thick-
ness (#r), which increases torque. The red lines further indicate
that increasing facesheet thickness (#) only increases in-plane
stiffness for panels with thin cores, while it increases both in-
plane stiffness and bending rigidity for panels with thick cores.
In panels with thick cores, the facesheets are further away from
the midplane; hence, any increase in facesheet thickness (#)
significantly increases bending rigidity. However, increasing
facesheet thickness in panels with thick cores does not reduce
distortion, as shown in figure 11(a), despite increasing bend-
ing rigidity. Instead, increasing facesheet thickness (#;) shows
a slight increase in distortion for all core thicknesses (b) due
to the simultaneous increase in the axial stiffness. Increasing
axial stiffness favours bending deformation of the top skin over
large compressive deformations, thereby increasing the dis-
tortion. Hence, the best solution for the fairing objectives is
a GATOR panel with a thick core and thin facesheets, which
improves bending rigidity and axial flexibility, respectively.
In contrast, the worst combination is having a thin core and
thick facesheets. Figure 11(c) shows the 13-plane view of these
panel geometries.



Smart Mater. Struct. 34 (2025) 025049

N M Mahid et al

(a

10
10

Distortion Metric [mm]
Bending Rigidity [Nm]
w

0 500 1000 1500 0

Torque [Nm]

Default Best Worst
b=11 b=20 b=2
tf=0.8 tf=0.1 tf=1.5

50 100

Axial Stiffness [kN/m]
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Figure 12. Loading diagram for analytical expressions.

3.3. Chevron geometry

The deformation of the sandwich panel is complex due to the
interaction of the facesheets and the chevrons. However, the
trends in the stiffness properties due to the changes in the chev-
ron geometry can be explained using the mechanics of the
chevron deformation. Consider the axial and bending deform-
ation of the core in the 1-axis shown in figure 12.

The corresponding analytical expressions for axial [29] and
bending [35] displacements of the chevron walls are shown in
equations (17) and (18), where k and ¢ are shear (typically k =
2.4+ 1.5v) [36] and torsional [34] coefficients respectively,
and K and 7 are polar and area moments of inertia,

File [ (1\?
5= e (t) sin290+ksm29c+cos29c] an
0, = M>l, isin29c‘|'i005296 : (18)
KG EI

The terms in the square bracket in equation (17) corres-
pond to the chevron’s bending, transverse shear and axial
deformation, respectively. The sin’f. values increase with
increasing chevron angle (6.) while the cos?f, values decrease.
Hence, the chevron’s bending and transverse shear displace-
ments increase while its axial displacement decreases with
larger chevron angles (6.). The expression further indicates
that the bending displacement increases significantly with the
slenderness (length-to-thickness ratio) of the chevrons. The

increasing bending displacement reduces the relative contribu-
tion of the chevron’s transverse shear deformation to panel dis-
placement, hence reducing the chevron’s transverse shear stiff-
ness contribution to the equivalent axial stiffness of the panel.
Furthermore, the terms in the square bracket in equation (18)
correspond to the chevron’s torsional and transverse bending
deformation, respectively. The expression indicates that the
chevron’s rotation due to torsion increases while its rotation
due to transverse bending decreases with larger chevron angles
(6.). The torsional coefficient (g) decreases from unity with
the increasing height-to-length ratio of the wall [35, 37, 38],
thereby reducing the torsional stiffness for longer chevrons.
These analytical trends are used in the following discussion to
contextualise the effects of the chevron geometry on the FE-
generated stiffness properties shown in figures 13 and 14.

The red lines in figure 13(a) show a large decrease in torque
for the initial increase in the chevron length (/.), followed
by smaller reductions for subsequent increases. The large ini-
tial decrease in torque is attributed to the large initial drop in
the panel’s axial stiffness, as shown in figure 13(b), due to
the reduced stiffness contribution from the chevron’s trans-
verse shear stiffness. Once the chevron’s transverse shear stiff-
ness contribution is negligible, typically for a slenderness ratio
greater than 15, the incremental reductions in the panel’s axial
stiffness with increasing chevron length (/;) becomes very
small. Consequently, a further increase in chevron length (/)
provides only a smaller reduction in torque for panels with
long chevrons. Moreover, the red lines in figure 13(a) indic-
ate that distortion of the fairing increases with longer chevrons
(lo). This increase in distortion is due decreasing bending rigid-
ity of the panel, as shown by the red lines in figure 13(b), par-
ticularly for thicker cores. This trend is attributed to the reduc-
tion in the chevron’s torsional stiffness due to the decreasing
height-to-length ratio of the chevron wall.

The blue lines in figure 13(a) further show that while the
effect of increasing core thickness (b) is predominantly on
distortion, for short chevrons, it also increases torque. This
increase in torque is due to increasing axial stiffness from
thicker cores when combined with short chevrons, as shown by
the rightmost blue line in figure 13(b). Short chevrons undergo
a larger proportion of transverse shear deformation relative
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Figure 13. Parametric study of core thickness (b) and chevron length (I.). (a) Shows the torque and distortion response for a 20-degree
rotation of the pivoted rib. (b) Shows the equivalent in-plane stiffness and bending rigidity in the morphing direction. (c) Shows the
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Figure 14. Parametric study of core thickness (b) and chevron angle (6.). (a) Shows the torque and distortion response for a 20-degree
rotation of the pivoted rib. (b) Shows the equivalent in-plane stiffness and bending rigidity in the morphing direction. (c) Shows the

geometry of the notable cases.

to longer chevrons when the panel is deformed axially in the
morphing direction. Hence, increasing core thickness (b) amp-
lifies the panel’s high axial stiffness due to the chevron’s trans-
verse shear stiffness by increasing the cross-section area of the
chevrons.

The effects of the chevron angle (6.) on the stiffness prop-
erties of the panel and the fairing objectives are shown in
figure 14. The blue lines show a decreasing incremental reduc-
tion in torque and axial stiffness with a uniform increase in
chevron angle (6.). This trend agrees with equation (17), which
indicates that the chevron’s displacement contribution of bend-
ing and transverse shear deformation increases while the con-
tribution of the chevron’s axial deformation decreases with lar-
ger chevron angles (6.). Moreover, in equation (17) the bend-
ing and transverse shear contribution is proportional to sin’6,
whose gradient decreases from 45 to 90 degrees. This decreas-
ing gradient results in a decreasing step change in axial stiff-
ness with a uniform increase in chevron angle (6.), as shown
by the blue lines in figure 14(b). The decreasing axial stiff-
ness of the panel with larger chevron angles (6. ) results in the
decreasing torque shown in figure 14(a). Hence, both trends
share the pattern of decreasing incremental reductions for uni-
form increases in chevron angle (6.).

The blue lines in figure 14(b) show decreasing bending
rigidity with larger chevron angles (6.), particularly for thick

cores. Note that the transverse bending stiffness of the chevron
wall is proportional to the cube of the core thickness (b*) due
to the area moment of inertia. Hence, the chevron’s transverse
bending stiffness is significant for thick cores, and its contribu-
tion to the panel’s bending rigidity decreases with increasing
chevron angle (6.), as indicated by equation (18), resulting in
decreasing bending rigidity. While the reducing bending rigid-
ity does not translate to consistent trends in distortion metric
in figure 14(a), it shows a consistent drop in distortion met-
ric for high values of chevron angles (6..) with no correspond-
ing increase in bending rigidity in figure 14(b). Similar to the
facesheet thickness () in figure 11, this trend is attributed to
the reducing axial stiffness of the panel, which enables greater
in-plane compression of the top skin before increasing out-of-
plane deformation, thereby resulting in a reduced distortion of
the fairing. Hence, the distortion metric is affected not only
by the panel’s bending rigidity but also by its axial stiffness,
as the skin deformation favours the lower energy deformation
mode between the in-plane and out-of-plane deformation.

3.4. Fairing variables

The fairing variables strongly affect both fairing objectives, as
indicated by the sensitivity in figure 10. The effects of floating
ribs (ng) and the fairing span (L) are shown in figure 15.
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Figure 15. Parametric study of fairing span (L) and floating ribs (nf). (a) Shows the torque and distortion response for a 20-degree rotation
of the pivoted rib. (b) and (c) show the corresponding deformed shape from the rear view of the fairing.

The blue dotted lines show that adding the first floating rib
reduces the distortion significantly, with a smaller subsequent
reduction with additional floating ribs (ny). Floating ribs (ng)
reduce the unsupported length of the skin between the ribs,
as shown in figure 15(b), resulting in reduced out-of-plane
deformation of the panel. Floating ribs further maintain the
cross-section thickness at their locations, thereby constraining
the fairing deformation. This constrained fairing deformation
adds stiffness to the fairing, increasing the torque with increas-
ing floating ribs (ng). The red lines indicate that the increase in
torque due to the floating ribs (n4) can be offset by increasing
the span (L) of the fairing. A longer fairing section reduces
the overall axial strain (i.e. 1-axis strain) by distributing the
displacement over a longer length, thereby reducing the axial
stiffness of the skin and, therefore, the resulting torque. This
reduction in axial strain delays out-of-plane deformation of the
top skin, thereby significantly reducing distortion for the fair-
ing without a floating rib, as shown in figure 15(c). However,
in the fairings with floating ribs, the out-of-plane deformation
of the fairing is already reduced by the floating ribs; hence,
figure 15(a) shows that further reduction in distortion due to
the span (L) increase is negligibly small. Therefore, a long
span (L) with few floating ribs (ny) is desired to achieve a bal-
anced solution for both objectives.

Pre-strain (g,) on the fairing in the direction perpendicu-
lar to the hinge (i.e. 1-axis) delays the onset of compressive
strains on the top skin as the wingtip folds. Large compressive
stress on the top skin may trigger panel buckling, which dis-
torts the cross-section shape due to large out-of-plane deform-
ation. Figure 16 shows the effects of pre-strain (g,) on the
torque and distortion response of the fairing.

Figure 16(a) shows that in a fairing with no pre-strain,
the top skin undergoes compression from the start of fold-
ing, leading to the early buckling of the top skin, indicated
by the jump in the distortion metric. Buckling of the top skin
reduces the torsional stiffness but at the cost of a severely dis-
torted cross-section, as shown in figure 16(c). The applied pre-
strain (¢p) delays the onset of buckling as a pre-tensioned top
skin can withstand greater compression before encountering

compressive strain. This delay in buckling extends the lin-
earity in the fairing deformation, as shown in figure 16(a).
It also shows that pre-strain (g,) reduces the torsional stiff-
ness in the linear response of the fairing. This trend agrees
with the 2-dimensional analytical results presented by the
authors in a previous study on the effects of pre-tensioned skin
over a hinged wingtip with multiple pivoted rib supports [10].
Furthermore, buckling of the top skin qualitatively changes
the torque and distortion metric response, as indicated by
figure 16(b). It shows that the 0% pre-strain (¢p) case devi-
ates from the general trend at the beginning, followed by the
5% pre-strain (g;,) case after 10 degrees of rotation and the
10% pre-strain (g},) case after 20 degrees. Hence, in the follow-
ing parametric studies, which include changing the pre-strain,
the trends in the objectives are studied considering the region
before and after buckling of the top skin.

Figure 17 shows the effects of varying the fairing span (L)
and the number of floating ribs (ng) with various pre-strain
(ep) across the hinge.

The effects of varying pre-strain (¢,) and span (L) on torque
and distortion are shown in figure 17(a). The red lines show
decreasing torque and distortion for increasing pre-strain (gp)
above 5% for the 10-degree rotation angle. In contrast, for
the 20-degree rotation angle, this trend is observed for pre-
strain (g,) above 10% due to the buckling of the top skin in
the 5% pre-strain (¢p) cases before the 20-degree rotation. In
the post-buckling results shown for 20-degree rotation for pre-
strains (g,) below 10%, increasing pre-strain (¢p) increases
the torque while reducing distortion. Moreover, the blue lines
show decreasing torque with increasing span (L) for all cases.
It also shows a subtle reduction in distortion with longer spans
(L) for all pre-strained cases. In contrast, the distortion metric
increases with the span (L) for cases without pre-strain. Hence,
these results indicate the benefits of increasing pre-strain (gp)
and span (L) to reduce both torque and distortion of the fairing.

The effects of pre-strain (g,) on fairings with various num-
bers of floating ribs (ns) are shown for a 20-degree rotation
in figure 17(b). The blue dotted lines show reducing distor-
tion and increasing torque with increasing floating ribs (ng).
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Figure 17. Parametric study of pairs of fairing variables showing the torque and distortion response. (a) Shows the effects of varying
pre-strain (g,) and fairing span (L) for 10 and 20-degree rotation of pivoted rib. (b) Shows the effects of varying pre-strain (es) and the
number of floating ribs (nf;) for 20-degree rotation of pivoted rib.

The red lines change direction for the cases with zero and respectively. The other red line (i.e., for two floating ribs case)
one floating rib, indicating the onset of buckling before 20-  shows that the buckling of the top skin can be avoided by con-
degree rotation for cases with less than 10% and 5% pre-strain, straining the fairing deformation with more floating ribs (ns),
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thereby giving a consistently low distortion for these cases. It
also shows that increasing torque due to more floating ribs (7y;)
can be offset using pre-strain, similar to the effects of increas-
ing the span (L) shown in figure 15. Therefore, the combined
effects of these fairing variables can improve both objectives
while minimising their trade-offs.

3.5. Key insights

The sensitivity study identified the design variables that sig-
nificantly influence the fairing objectives of reducing torque
and cross-section distortion. Hence, the subsequent parametric
study focused on these design variables, thereby significantly
reducing the design space. For instance, consider pairing each
panel variable with every other panel variable to produce car-
pet plots similar to the one presented in the parametric study.
This approach would produce 21 different pairs of panel vari-
ables, each with 5 x 5 sample points (i.e. 525 simulations).
In contrast, by considering the design variables that strongly
affect at least one fairing objective and pairing each of these
variables with variables that strongly affect the other objective,
the parametric study of the panel variable was reduced to 4 dif-
ferent pairs (i.e. 100 simulations). Additionally, the sensitivity
study used 10 sample points of each of the 7 panel variables
(i.e. 70 simulations). Hence, this approach reduced the num-
ber of simulations required for the study by 68% relative to
studying every possible pair.

The parametric study of the panel layer thicknesses indic-
ated that the GATOR sandwich panels with thick cores and
thin factsheets increase bending rigidity without a notable pen-
alty to the axial flexibility in the morphing direction, agreeing
with the previous analytical [19], FEM [23] and experimental
[18] studies. The novelty of this study is in determining the
relationship between panel design variables and the beha-
viour of the folding wingtip fairing through their effects on
the panel’s axial stiffness and bending rigidity. A systematic
study of the 3-dimensional fairing in a reduced design space
was presented in pairs of design variables that predominantly
affect different fairing objectives. It highlighted a relatively
weak coupling between the fairing objectives for changing
core and facesheets thicknesses. The core thickness predom-
inantly affects distortion, while facesheet thickness predom-
inantly affects torque, with a relatively small influence on
the other objective. This context enables the core thickness
to be increased to reduce distortion with only a small pen-
alty on torque and the facesheet thickness to be reduced to
reduce torque with only a small penalty on distortion. Hence,
an improved configuration relative to the baseline will have a
core thickness of 11-20 mm and a facesheet thickness of 0.1-
0.8 mm.

The parametric study of the chevron geometry high-
lighted the relationship between the analytical expressions
for the core’s in-plane [29] and out-of-plane [35] displace-
ments in the morphing direction with the observed trends
in the FE studies. It highlighted that for the plate’s in-
plane deformation in the morphing direction, a large chev-
ron angle reduced the contribution from the chevron’s in-
plane (i.e. axial stretching/compression) deformation while

increasing the contribution from the chevron’s out-of-plane
(i.e. bending and transverse shear) deformation. As the out-of-
plane stiffness of the chevon is much lower than its in-plane
stiffness, a high chevron angle between 60 and 70 degrees
is preferred to reduce the torque. Similarly, a high length-
to-thickness ratio of chevrons increases the chevron’s bend-
ing deformation contribution to the plate’s in-plane deforma-
tion in the morphing direction. As the bending stiffness of the
chevon is much lower than its axial and transverse shear stiff-
ness, a long chevron of between 12.5 and 20 mm is preferred to
reduce torque relative to the baseline configuration. Note that
the increasing chevron length has a small penalty on fairing
distortion; however, the improvement in the torque response
is disproportionately large, thereby making it a favourable
trade-off.

The parametric study of the fairing variables indicated that
adding floating ribs reduced the fairing distortion significantly
with a small cost to the torque response. This small increase in
torque due to floating ribs can be offset by a small increase in
the fairing span. Hence, a design with at least 1 floating rib and
a 0.9-1 m fairing span improves both objectives relative to the
baseline. Moreover, the study indicated that pre-strain delays
the buckling of the top skin, thereby reducing the cross-section
distortion. It further extends the linear torque response of the
fairing and reduces its torsional stiffness. A pre-strain of at
least 10% is required to achieve a 20-degree rotation angle of
the pivoted rib (i.e. 40-degree rotation of the wingtip) before
the top skin buckles. However, if a lower pre-strain is required
to reduce fatigue on the materials, the study showed that 2
floating ribs could eliminate the sharp increase in distortion
due to top skin buckling for any pre-strain. Note that the buck-
ling considered here is the panel’s global buckling, and the
panel’s facesheets are likely to buckle locally before the panel
buckling, thereby reducing the panel’s axial stiffness. Hence,
a full-scale FE study is required to study the nonlinearity in
the panel’s response under large compression.

4. Conclusions

The paper presents a modelling and analysis framework for
analysing a morphing fairing for folding wingtip joints made
of a flexible sandwich panel with a cellular core. The frame-
work focuses on complexity reduction, firstly, by adopting
a two-step modelling approach with homogenisation of the
panel properties to equivalent shell properties and modelling
of the fairing over the wing section as a shell surface, and
secondly, by using a sensitivity study to determine the crit-
ical design variables whose effects on the fairing are then ana-
lysed in detail using a parametric study. In order to identify the
driving features of the panel and the fairing, which contributes
to reducing the torsional stiffness of the joint and the cross-
section distortion of the fairing, various metrics for quantify-
ing these objectives are studied, and their robustness is evalu-
ated using an initial study varying the number of floating ribs.
Torque and displacement metrics were used in the subsequent
studies to represent torsional stiffness and cross-section dis-
tortion, respectively. A sensitivity study reduced the design
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space for the parametric study by selecting only the variables
that strongly influence the objectives. The parametric stud-
ies for the panel variables show that increasing core thickness
contributes significantly to reducing distortion while reducing
facesheet thickness and increasing chevron length and chevon
angle contributes strongly to reducing torque. In contrast, all
fairing variables contribute significantly to both objectives.
In particular, increasing pre-strain and span improves both
objectives, whereas more floating ribs reduce distortion at
the cost of increased torque. Hence, a combined effect of
these variables offers an opportunity to reduce the trade-off
between the objectives. The study showed the variables that
strongly influence the objectives, their trends with the object-
ives, and their range of values that improve the fairing per-
formance relative to the baseline configuration. The study fur-
ther highlighted the need to perform a 3-dimensional full-scale
re-analysis of the optimal solution, particularly to study the
effects of facesheet buckling on the sandwich panel fairing.
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